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ABSTRACT
This thesis proposes the development of high-frequency airgap windings for
a 1 MW permanent magnet electric machine designed for aerospace applica-
tions. A centerpiece of the design is focused on increasing the power density
of the machine to 8 hp/lb, a factor of two greater than the state-of-the-art
electric machines, while maintaining 96% e ciency. In essence this design
specification demands increasing the electrical loading per lowest weight,
which can be achieved by employing high-frequency armature currents to-
gether with a high pole count. This work will aim to design and implement
an armature winding design made out of Litz wire that minimizes the extent
of increased AC losses due to higher operating frequencies while simulta-
neously remaining a manufacturable solution. The approach will be based
on identifying a numerical model that aids in selecting a specific conductor
topology that minimizes copper losses, while a more refined finite element
model will be used to verify these results. To verify the methods used to
compute losses, the results of a caliometric experiment will be presented to
validate the design approach. Ultimately, a manufacturing process will be
demonstrated to conclude the development phase of the winding by present-
ing several hardware trials that implement the proposed conductor topology
that resulted from the previous analysis.
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CHAPTER 1
INTRODUCTION
1.1 Background
The motivation for this thesis is based on recent trends in electric machine
design to achieve higher power densities in new generations of permanent
magnet (PM) synchronous machines with a particular focus on the aerospace
industry. The International Air Transport Agency (IATA) estimates that 2.4
billion passengers and 40 million tons of goods were transported via the skies
in 2010. Furthermore its forecasts, which are based on data collected over the
past 40 years, project that the volume of passengers and goods will increase
by factors of eight and ten respectively by 2050 [1].
Thus with an expected exponential increase in frequency and quantity
in the aviation industry over the next three decades, there is a renewed
interest in research to explore opportunities to electrify key components of the
powertrain placed inside an aircraft. However, despite significant advances
in battery storage technologies, the energy density of jet fuel at 46 MJ/kg
still overshadows the current state-of-the-art battery storage capabilities by
approximately two orders of magnitude. It is therefore not necessarily the
goal to immediately produce a solution for a fully electric airplane but to
work on hybrid, turbo-electric concepts that couple the benefits of fossil fuels
and electromagnetics. One example is today’s application of turbo-electric
powertrain solutions in marine applications.
Similarly, to keep the system as light and reliable as possible it is equally
important in the design of high power density machines employed in aerospace
to avoid adding complex cooling technologies (e.g., cryogenics) and instead
exploit as much turbine exhaust air as possible as the primary cooling mech-
anism. As a reference, current air-cooled PM motor technologies have satu-
rated around 2.5 hp/lb with most motors employed in commercially available
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unmanned aerial vehicles (UAV) rated up to 20 kW [2]. On the other hand,
the research presented in this thesis aims to design an air-cooled PM electric
machine that is rated at 1 MW with a power density of 8 hp/lb.
1.2 Problem Motivation
Higher power densities in electric machines can be achieved by satisfying
either of two fundamental conditions:
1. Increasing the output power
2. Decreasing the weight of the machine
The three-phase output power of an electric machine is governed by a fun-
damental relationship between phase current (I ) and voltage (E ) as shown
in (1.1). Therefore, when increasing the magnitude of the current in the ar-
mature windings, more power is generated at the output in a general sense.
However, assuming the number of poles is determined and the coils per phase
per pole have been chosen, there is only a limited slot area available for each
armature winding. And the amount of current travelling in each slot inher-
ently relates to the heat it dissipates due to DC and AC resistances. Thus,
the degree to which the output power can be varied via the phase current
is constrained by the temperature rating of each material and the cooling
method chosen for the machine. Such considerations may include individual
component insulation ratings but also temperature-dependent demagnetiza-
tion curves of the magnet or the stator-yoke. For reference, an air-cooled
machine rated at 200 kW or larger may reach root-mean square (RMS) cur-
rent densities of 7 A/mm2 per slot [3].
Pm = 3E I  (1.1)
Hence, with the first condition heavily constrained by material and ther-
mal ratings, the second condition can be met by reviewing the relationship
between the synchronous speed (ns), the supply frequency (fe) of the AC
currents in the armature, and the number of poles (p) in an electric machine
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in (1.2).
ns =
120fe
p
(1.2)
By increasing the number of poles in the machine, the magnetic flux per
pole and the thickness of the back-iron yoke decrease proportionally. Due to
the magnetic steel used in the yoke of the machine, a decrease in thickness
contributes to a major reduction in overall machine weight. Yet, a mere
increase in number of poles a↵ects the first condition adversely since the
synchronous speed and the back-EMF voltage decrease linearly resulting in
an overall lower output power. Thus, in order to increase power density a
higher number of poles has to be accompanied by an equivalent increase in
fe such that ns does not decrease.
The challenges to realizing this fundamental opportunity to raise power
density is the management of the resulting ine ciencies due to increased AC
losses. Without an in-depth consideration of high frequency losses in the
armature winding design, this mode of operation may result in heightened
ine ciencies and an inferior overall machine performance.
1.3 Problem Definition
The work presented in this thesis will exclusively focus on the design and
development of the armature winding for a 1 MW PM, 96% e cient syn-
chronous machine. Additional design parameters include an armature wind-
ing RMS current density of 7 A/mm2 at a fundamental frequency of 3 kHz.
This corresponds to an equivalent rotational speed of the rotor at 18,000
RPM.
Figure 1.1 shows a cross-section of the machine considered in this work,
where an inside-out topology has been chosen to increase the tip-speed inside
the air-gap. The outer rotor structure contains 120 segmented neodymium
boron iron (NdFeB) permanent magnets, which are compressed by a sur-
rounding carbon fiber ring to provide structural integrity during the opera-
tion. The overall outer diameter of the rotor is 10.8” with an active length
of 8.8”.
The inner stator includes the three-phase airgap windings, each phase
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Figure 1.1: Cross-section of the proposed PM machine design employing
outer rotor and inner stator. Reproduced with permission by Yuanshan
Chen.
color-coded, the back-iron yoke, and aluminum heat fins pointing towards
the center to dispose of the heat that is generated by the windings. In this
configuration the airgap armature windings are directly exposed to the main
flux of the magnets since stator teeth have been neglected for the purpose of
reducing weight and facilitating the extraction of heat produced by magnets
and windings inside the gap. The remaining aircore houses two bearings and
the front-face features a fan to force inlet air through the airgap and the
aircore of the machine to exit on the opposite side.
Ultimately, this novel machine design is supposed to enable an overall in-
crease in power density by a factor of two relative to the current state of the
art air-cooled PM machines. The design problem explored in this thesis is to
firstly characterize AC losses to subsequently propose an armature winding
design that simultaneously mitigates any high-frequency ine ciencies while
remaining a manufacturable solution. Three main challenges in this design
have been summarized below, which will be addressed throughout this pro-
cess:
1. A fundamental armature AC current frequency of 3 kHz
2. A slot RMS current density of 7 A/mm2
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3. The direct exposure of the armature windings to the main magnetic
flux density in the airgap at approximately 1 T
The basic structure of this thesis will be to choose a conductor topology
first that best minimizes AC losses using Litz wire as the primary conductor.
Two numerical methods, analytical and finite-element, will be presented to
develop and verify a systematic approach to choosing a viable Litz conduc-
tor topology for a given machine design. These results will be verified on a
smaller scale using a caliometric experimental setup. The second part will
focus on the implementation of the proposed conductor design and elaborate
in detail on the manufacturing process development needed to build a proto-
type winding. Subsequent hardware results will be presented and discussed
accordingly.
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CHAPTER 2
AN AC LOSS CHARACTERIZATION WITH
LITZ WIRE
This chapter will utilize basic electromagnetic relations to define and char-
acterize AC losses in a general sense. Afterwards, skin and proximity-e↵ects
will be introduced as the main categories in AC losses. Lastly, the preceding
analysis will be put into the context of utilizing Litz wire as the conductor
type for the armature winding in the proposed machine design. Hardware
samples will be presented alongside a discussion of the beneficial properties
of Litz wire for high-power-density, high-frequency electric machines.
2.1 AC Loss Characterization
AC losses are an inherent transient phenomenon that typically arise in the
context of electric machines with periodically varying quantities such as the
armature phase current. The common link between losses and a signal is the
frequency, which makes high-frequency machine designs especially prone to
increased ine ciencies.
As opposed to DC losses, which occur due to the current producing power,
AC losses are a simple byproduct of transporting an alternating current in-
side a conductor. As a result of moving electric charges, a current-carrying
conductor with a finite cross-sectional area produces a time-varying magnetic
flux density (B). And according to Faraday’s law of induction this time vary-
ing magnetic field now induces a non-conservative electric field (E) within
the conductor at the same fundamental frequency as described in (2.1). The
result of this process is a nonuniformity in the RMS slot current density as
a result of local eddy-current loops.
5⇥ E =  @B
@t
(2.1)
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The general result of locally induced eddy-current is a reduction in output
power due to increased ine ciencies. Yet, to develop a mitigation strategy
to reduce AC losses as much as possible, further categorization into skin- and
proximity-e↵ect as the primary loss mechanism will aid the later analysis.
2.1.1 Skin-E↵ect
The magnetic self-shielding of a conductor is called skin-e↵ect and is often
expressed as a magnetic di↵usion problem. As previously stated, Faraday’s
law initiates the source for eddy-currents and as a natural extension Lenz’s
law (2.2) helps to explain the roots of the skin-e↵ect. It states that the
direction of the induced EMF voltage (E ) is in the opposite direction of
the change in magnetic flux ( ) multiplied by the number of turns (N).
Therefore, the induced eddy-currents due to E will then orient themselves to
produce their own magnetic fields that oppose the original B.
E =  N @ 
@t
(2.2)
The physical result of this electromagnetic relationship is that the cur-
rent at the center of the conductor is canceled out, whereas the current at
the perimeter of the conductor’s skin is reinforced by the distribution of
eddy-currents. Hence, this mechanism is also often referred to as “surface-
crowding” or “current-crowding” and is caused by the magnetic field di↵using
into the conductor by a given radial distance called skin depth ( ),
  =
r
⇢
⇡µrf
(2.3)
where ⇢, µr, and f are the resistivity and magnetic relative permeability
of the conductor material, and fundamental frequency of the AC current
respectively. As a reference the skin depth for copper at 3 kHz at room
temperature (24  C) is approximately 1.19 mm.
In order to aid the visualization of skin-e↵ect losses and their dependence
on frequency, the familiar DC resistance relationship can be used in (2.4).
As the frequency of AC current in the conductor is increased,   decreases
such that the e↵ective conduction area (A) of the conductor becomes smaller.
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Assuming length (l) and material properties (⇢) stay constant, the equivalent
AC resistance increases, thereby demonstrating an increase in AC losses due
to the skin-e↵ect.
R =
⇢ l
A
(2.4)
2.1.2 Proximity Losses
The proximity-e↵ect is the second category of AC losses and, unlike the skin-
e↵ect, it does not have an equivalent DC mechanism to use as an analysis
tool. Nevertheless, in order to better visualize this phenomenon assume
that a stator slot holds n equivalent parallel strands that are all shorted
at the endpoints A and B. In the presence of an external time-varying
magnetic field, but without connecting any external circuitry, the net current
measured between points A and B must be zero. However, due to Faraday’s
law of induction, eddy-currents will be induced into each strand thereby
contributing to a non-zero net current within each strand. If an external
current is now applied at both endpoints the total current in the slot is
a superposition of the externally applied current and any locally induced
current loops such that nonuniformities in the RMS slot current density are
the end result.
Now assume that the external time-varying magnetic field is a result of an
adjacent conductor carrying an alternating current. This is the essence of
the proximity-e↵ect and occurs when a time-varying magnetic field produced
by a current-carrying conductor induces eddy-currents into its neighboring
conductors. In the context of electric machines this is important because
several neighboring conductors are placed within one slot with multiple slots
next to each other to account for all three phases.
Besides having to analyze the network of conductors in each slot to com-
pute a cumulative e↵ect, the study of proximity losses is further complicated
because it often heavily depends on the geometry of the slot and conductor
itself. For instance, the degree of conductor transposition becomes a care-
ful consideration in minimizing overall proximity losses since the amount of
induced eddy-current depends on the loop through which the time-varying
magnetic field travels. As studied in [4] twisting and weaving the wire shrinks
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this area such that fewer local current loops arise.
2.2 Litz Wire
One of the techniques used to reduce AC losses due to skin- and proximity-
e↵ects is to substitute conventional solid conductors on the armature with
Litz wire. Despite its broad implementation in high-frequency applications
such as transformer windings and induction cooking applications, the need
for higher frequencies to increase the power density of electric machines has
increased its rate of adoption in this application as well.
Litz wire consists of a high number of individually insulated strands, sep-
arated into a number of bundles, which are continuously transposed and
woven throughout the length of the conductor. The two rectangular (type 8)
Litz wires that were used in this work are illustrated in Figure 2.1 with two
di↵erent strand diameters given in the American wire gauge (AWG) system.
Both were manufactured by New England Wire Technologies R  in Lisbon,
NH. Whereas the 30 AWG gauge wire (Figure 2.1a) comprises seven bundles
(nb) with each seven strands (ns), the 38 AWG wire (Figure 2.1b) consists of
15 bundles with each 44 strands. Further construction details of each wire
are listed in Table 2.1, which also includes the copper fill factor (kCU) and
the maximum rated temperature (Tr) of the strand or bundle insulation.
Note that in this renewed context the analysis of both sources of AC loss
addressed in sections 2.1.1 and 2.1.1 has to be extended to di↵erentiate losses
by strand- and bundle-level. First, strand-level eddy-currents are confined
to the slot-bound area and travel within each solid conductor. Second, given
that there are a high number of strands connected in parallel within each slot,
a circulating current will flow through the whole winding causing bundle-level
eddy-currents which are no longer confined to a single slot.
In regard to reducing strand-level eddy-currents, a single conductor can
be subdivided into much smaller strands connected in parallel, while main-
taining the same cross-sectional area to carry the same total current. The
authors of [5] have experimentally verified that the optimum subconductor
diameter is typically found on the same order of magnitude as the skin depth
and note that strand-level eddy-current minimization due to the skin e↵ect
can be a↵ected adversely if the diameter is substantially further decreased.
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(a) 30 AWG
 
ds = 0.255 mm
 
: 7x7
(b) 38 AWG
 
ds = 0.101 mm
 
: 15x44
Figure 2.1: Type 8 Litz wire with strand diameter (ds) given in American
wire gauge (AWG) system and construction details: (number of
bundles)x(number of strands).
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However, by simply subdividing the conductor into a high number of small
strands the bundle-level eddy-currents increase as a proportion of total losses,
and thus a continuous transposition is used to cancel out any circulating cur-
rents due to proximity-e↵ects. Ideally, the transposition of Litz wire ensures
that each subconductor is exposed to all possible magnetic conditions in the
slot, thereby averaging the net e↵ect of locally induced eddy-current to zero.
As seen in Figure 2.1 this translates in practice into a braided structure
that transposes bundle as well as strands for a given distance before returning
to its starting position. This is also often referred to as the pitch of the wire
and as noted in [6] the smaller the pitch, the smaller the area of the loop
through which eddy-current due to the proximity-e↵ect can be induced.
In order to quantify the results of transposition in greater detail, Reddy et
al. in [7] state that simply twisting the bundle and conductor can theoret-
ically reduce proximity losses by 50%. However, twisting only ensures that
each single subconductor is circularly moved at a fixed distance from the cen-
ter of the bundle. The weaving of Litz wire, on the other hand, ensures that
each strand occupies all positions in the cross-section of the conductor, which
is the second condition for all subconductors to be exposed to all magnetic
paths inside the conductor.
However, an intricate transposition pattern is only useful for a limited
frequency range such that Litz wire becomes inferior as compared to con-
ventional conductors beyond frequencies of approximately 1 MHz. As in-
vestigated by Ferreira in [5], AC losses due to the proximity-e↵ect become
dominant at higher frequencies such that conventional conductors with small
diameters become a more beneficial choice with respect to minimizing overall
AC losses.
Table 2.1: Litz wire construction details compared
AWG 30 38
Height [in] 0.063 0.063
Width [in] 0.122 0.244
nb 7 15
ns 7 44
kCU [%] 50 53
Tr [ C] 240 150
Nevertheless, despite gaining a substantial electrical advantage in using
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Litz wire against AC losses, there are a range of trade-o↵ studies that need to
be carefully considered as well. A general consideration when employing Litz
is the sacrifice of the amount of copper per slot. Considering that every strand
is individually insulated with a one-mil-thick polyimide coating, and that
additional nylon enamel may be used to structurally support each bundle if
made out of a higher number of strands (see Figure 2.1b), the copper fill factor
quickly deteriorates such that multi-bundle topologies saturate at around 50
to 60%. This loss in fill factor directly translates into a deteriorating thermal
performance since internal air gaps within the winding are prone to form local
hotspots when under operation.
Secondly, as explored by the authors in [4] the ideal loss minimization oc-
curs in a single-bundle conductor with a high number of strands, which is
fully transposed (360 ). However, from a winding manufacturing perspective
multi-bundle Litz conductors are preferred due to the higher mechanical flex-
ibility and improved moldability when fitting the conductor into the stator
slot. A later chapter will further address any mechanical challenges involved
in manufacturing armature windings with Litz wire.
Lastly, due to the complex manufacturing processes involved in producing
Litz wire and its relatively low adoption rate in high-power density electrical
machines at present, cost is significantly higher than single-strand conduc-
tors. Prices can be still higher in cases where many strands at small strand
diameters are required to achieve the highest fill factor possible. However,
given that this project was research-focused, the thorough consideration and
optimization of conductor price was not included in the design but has been
treated in detailed by Sullivan in [8].
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CHAPTER 3
COMPUTING AC LOSSES
ANALYTICALLY
This chapter will introduce the development of a numerical model that was
used to compute AC losses analytically. A detailed explanation of model
priorities and assumptions will be addressed alongside the necessary modifi-
cations that had to be made in order to adopt a previously developed model
from literature to the proposed machine design. Lastly, a comparative study
will be presented to identify a preliminary conductor topology, which will be
subsequently finalized by a finite element analysis in Chapter 4.
3.1 Motivation
After the introduction of Litz wire in the preceding chapter as a potential
solution to minimizing AC losses, a method now has to be formulated to
quantify AC losses numerically. Besides the rigorous finite element analy-
sis, which requires various model parameters to fully define the problem,
an analytical representation o↵ers an opportunity to derive AC losses with
a less constrained set of parameters. Moreover, since this analysis was re-
quired at the beginning of the winding development, a comparative study of
di↵erent designs is more easily and quickly implemented in a flexible ana-
lytical approach than a detailed finite element model. Thus, the purpose of
this chapter is to formulate a systematic approach that computes AC losses
analytically such that the results of a comparative study between multiple
topologies can aid in identifying a baseline armature winding design.
An underlining motivation throughout this study was to maintain an equal
focus on the hardware implementation of the derived design such that it
was important to feed actual manufacturing data of the Litz wire into the
set of parameters of a potential analytical model. The defining parameters
for a manufacturer are the type of Litz wire, the strand diameter, and the
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Table 3.1: Slot copper fill factor (kcu) as a function of strand diameter (ds)
for a rectangular slot of 0.122” by 0.063” provided by New England Wire
Technologies R 
AWG kcu [%]
30 50.1
31 51.3
32 50.7
33 50.0
34 50.1
35 48.9
36 48.6
37 48.6
38 52.5
39 47.6
40 47.3
dimensions of the entire conductor. Hence, for a given rectangular slot of
0.244” (width) by 0.215” (height) and assuming there are three turns per slot
to su ciently build up voltage, Table 3.1 lists an approximate fill factor (kcu)
for each strand diameter (ds) provided by New England Wire Technologies
R .
This data is provided on the assumption that the conductor is sized 0.122”
(width) by 0.063” (height) with a class H heavy polyimide insulation coating.
After having established the independent and dependent variable in a com-
parative AC loss study as ds and kcu, it was important to find a good balance
between a range of oversimplified or overconstrained analytical models. For
instance, oftentimes AC losses are lumped into an equivalent parameter to
express them as a ratio of DC losses as presented in [9], such that a di↵er-
entiation between skin- and proximity-e↵ect losses becomes impossible. On
the other hand, very sophisticated approaches such as an equivalent circuit
model as developed in [10],[11] require specific information in regard to resis-
tance and inductance of each strand, which would inevitably overconstrain
the design. Similarly, other solutions required very detailed information on
the distribution of each strand within the bundle and slot to better estimate
proximity losses [12].
Instead a model developed by Tang and Sullivan in [6] was chosen because
of its dependence on fundamental quantities such as magnetic flux density,
frequency, and material properties for a rectangular slot geometry. Moreover,
its assumptions proved to be flexible enough to be tailored to the proposed
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machine design and an overall comparative study could be established with
ds and kcu included in the set of parameters. The following section will
further elaborate on this particular model with a presentation of general
assumptions, the AC loss relationships, and a final set of results.
3.2 The Model
Originally, the model described in [6] was intended to provide a comparison
of AC losses between Litz wire and a low-cost uninsulated multi-stranded
wire alternative, which made this choice particularly beneficial for this study
as well. Despite comparing alternative Litz wire topologies in this analysis,
several model parameters could easily be translated to amend the purpose of
the original model without overconstraining the entire design in the process.
The key assumption that had to be altered was the definition of an in-
terstrand resistivity (⇢ss), which quantifies the resistance between adjacent
strands in an uninsulated multi-stranded conductor. Since every strand in
Litz wire is individually insulated by definition, (⇢ss) was set to one for the
entire analysis, which corresponds to defining an infinite resistance between
each strand.
Moreover, the model assumes constant magnetic flux density throughout
each strand, which is equivalent to assuming that the strand diameter was
chosen much smaller than the skin depth in order to prevent any external
magnetic field from di↵using into the conductor. Additionally, the flux den-
sity is also assumed constant within each bundle such that the magnetic field
produced by locally induced eddy-currents is not large enough to have any
impact on the main flux density from the PM. However, the flux density
throughout an entire slot varies depending on location within the three-turn
winding such that a spatial average of the peak value has to be formed (Bˆ).
Due to the specific arrangement of the PM in a Halbach array and the rota-
tion of the rotor, the magnetic flux density vector B is not a single function
of radial position since it also incorporates an angular component. Through-
out the finite element investigation in Chapter 4 it became evident that the
absolute magnitudes of both vector components vary substantially depend-
ing on the location inside the winding such that it was determined to use
the result of this analysis in the analytical model to decrease overall model
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uncertainty.
Secondly, Tang assumes perfectly sinusoidal flux density distribution in
the airgap as shown in (3.1) where Bˆ is the amplitude of the flux density
at a given position. The subsequent result of this assumption is that the
analytical model only considers losses that are caused by the fundamental
frequency !0 but neglects any harmonic analysis. This assumption appeared
valid since higher frequency harmonics were expected to be small due to the
employment of a 5/6 short-pitched winding and the exclusion of stator teeth,
which contribute to substantial reluctance ripples in the airgap. Nevertheless,
a more rigorous fast Fourier transform analysis in Chapter 4 will address this
issue in more detail.
B = Bˆ cos
 
!0t
 
(3.1)
Lastly, as previously addressed in Chapter 2, the pitch of the wire is an
important design consideration in the manufacturing of Litz wire due to the
reduction of proximity-e↵ect losses. However, since the vendor was unable to
provide a specific pitch length for each design listed in Table 3.1 the results
of this model are based on approximating an optimal pitch (popt).
As part of Tang’s investigation in [6] an expression for evaluation an opti-
mal pitch based on strand diameter was developed in (3.2), which is based on
finding a minimum value of total copper losses as a function of pitch. As the
pitch decreases, bundle-level losses decrease since the e↵ective loop area is de-
creased through which an external magnetic field induces local eddy-currents.
However, DC losses and strand-level eddy-current losses simultaneously in-
crease because of a longer strand with higher degree of twisting. Therefore,
the total copper loss is minimized at the optimal pitch when assuming that
kcu is independent of pitch.
In (3.2) n indicates the total number of strands per Litz wire, ⇢cu is the
resistivity of copper at the operating temperature, and Irms is the root-mean-
square (RMS) current per Litz wire, which can be calculated based on the
RMS slot current density of 7 A/mm2 kept constant for each design. For the
purpose of clarity we define Litz wire here as the assembly of bundles and
strands.
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popt = 4
s
⇡4⇢ssnd4s
16⇢cu
+
32I2rms⇢ss⇡
2⇢cu
!20Bˆ
2nd2s
(3.2)
By keeping these assumptions in mind, Tang’s model is able to di↵eren-
tiate between AC losses generated at the strand- and bundle-level across a
homogeneous active length (lact) given in (3.3) and (3.4) respectively. Note
that losses in the endwindings are not included in these calculations. Due
to the p2opt relationship with Pbundle, it is expected that bundle-level losses
in this design will be considerably smaller than losses due to strand-level
eddy-currents.
Pstrand =
⇡!20Bˆ
2d4snlact
128⇢cu
✓
1 +
⇡2nd2s
4kcup2opt
◆
(3.3)
Pbundle =
p2opt!
2
0Bˆ
2nd2slact
32⇢ss⇡kcu
✓
1 +
n⇡2d2s
4kcup2opt
◆
(3.4)
Lastly, a third source of loss included in the total copper loss is caused
by the DC resistance, which is calculated based on (3.5). The previously
introduced relationship to compute RDC can be found in section 2.1.1. In
this case, the number of strands (n), ds and kcu where used to compute the DC
resistance for a given rectangular slot area assuming constant winding length
l and ⇢cu for each conductor. Note that the endwinding length was included
in this computation such that a baseline measurement from a prototype
resulted in an average length of 2.5” per endturn. With additional connector
lengths considered, the total length per winding resulted in 73.25”. Note
that the pitch did not impact the length calculation for each design since
it was assumed that the experimentally measured length included a close to
optimal pitch value.
PDC = I
2
rmsRDC (3.5)
Thus, despite comprising a range of variables, the total copper loss (Pcu)
as defined in (3.6) can be made into a function of strand diameter, where the
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DC loss remains constant for any fixed l. The copper fill factor in Table 3.1
along with the strand diameter and a fixed slot area can be used to compute
the value for n for each diameter. The following section will address the
result of this analysis and elaborate on a final design that was chosen.
Pcu
 
ds
 
= PDC + Pstrand
 
ds
 
+ Pbundle
 
ds
 
(3.6)
3.3 Results
As previously stated, the purpose of this model was to provide a comparative
analysis across di↵erent Litz wire topologies by varying the strand diameter
from 30 to 40 AWG and using the corresponding copper fill factor. The total
slot area was fixed at 0.244” (width) by 0.215” (height) and the conductor
dimensions were chosen at 0.244” by 0.063”. Furthermore, the active length
(lact) for this study was set at 8.8”, with a total number of 60 windings
operated at a temperature of 135  C to adjust the DC resistance. An ex-
perimentally measured value for ⇢cu of 2.01⇥ 10 8 ⌦m and 2.09⇥ 10 8 ⌦m
was used for the 30 and 38 AWG Litz wire respectively, whereas an average
value was used for the remaining strand diameters. Both of these values were
measured at 25  C. The fundamental frequency (f0) was fixed at 3 kHz and
the spatial average squared value for magnetic flux for the slot area (Bˆ2) was
computed at 0.9730 T2 in the finite element software.
Figure 3.1 shows a plot of copper loss components of 60 windings versus the
strand gauge. Table 3.2 lists a detailed break-down of each loss component
alongside the estimated number of strands per slot for that particular design.
Notably, strand-level eddy-current losses dominate because an optimal pitch
has been assumed to reduce bundle-level eddy-currents to almost negligible
values. For reference, at 38 AWG Tang’s model predicts an optimal pitch of
76.3 cm whereas the hardware model measured a smaller pitch at 47.8 cm.
This reduces the computation in (3.4) even further but may lead to higher
strand-level eddy-current losses as seen in these results.
Interestingly, the results for strand-level eddy-current losses reveal that by
reducing the strand-diameter from  4 (30 AWG) to
 
10 (38 AWG) at 3 kHz AC
losses can be decreased by a factor of six. Typically, designers would refrain
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Figure 3.1: Plot of copper loss components versus strand diameter
computed for a three-turn slot and across 60 windings.
from choosing substantially smaller ds than the skin-depth but in this case
it proves very beneficial to do so.
The DC loss remains almost constant at about 3 kW with slight varia-
tions occurring towards the smaller strand diameter due to the deteriorating
copper fill factor. Note that kcu for 38 AWG was revised after reducing the
double-layer polyimide strand-insulation to a single-layer insulation to gain
an additional 3% increase in copper fill factor.
Despite very promising results it is important to note that this analysis is
not able to immediately identify the best possible topology since any non-
electrical considerations are not reflected in the results. For instance the
general trend of AC losses seems to further decrease if extending the range of
strand diameters beyond 40 AWG since no minimum can yet be identified.
Whereas this statement may be true, one needs to consider that choosing
smaller strand diameters carries a subsequent increase in number of strands
per conductor such that the copper fill factor will inevitably deteriorate fur-
ther. Similarly, with a lower copper fill factor thermal management problems
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Table 3.2: Copper loss break-down by component for analytical results
shown in Figure 3.1
AWG n Pcu [kW] PDC [kW] Pstrand [kW] Pbundle [W]
30 98 17.23 3.18 14.04 6.97
31 126 14.47 3.09 11.37 6.27
32 157 12.04 3.13 8.90 5.65
33 195 10.16 3.18 6.97 5.11
34 248 8.70 3.17 5.52 4.66
35 302 7.56 3.25 4.30 4.26
36 381 6.65 3.27 3.37 3.92
37 481 5.94 3.27 2.67 3.64
38 660 5.51 3.09 2.41 1.37
39 748 4.99 3.33 1.65 3.21
40 937 4.66 3.35 1.30 3.04
begin to arise since a higher number of strands carry more insulation and
produce more airgaps within the conductor. Lastly, the more strands the
more rigid the overall wire, rendering the structure mechanically inflexible
and more di cult to wind.
Hence, in order to use the plot in Figure 3.1 as an indicator for an opti-
mal baseline design, the ratio of AC to DC losses can be used as an initial
discriminator. In essence, the DC loss represents the ine ciency incurred by
actually producing power at the output of the machine, whereas AC losses
are simply an undesired byproduct of the design. Thus, any design whose
AC to DC ratio is greater than one would not be maximizing the use of the
copper per slot in the most e cient manner. Hence, decreasing the strand
diameter from 30 to 38 AWG reduces the ratio from 4.50 to 0.75, thereby
making it a superior choice in respect to e ciently using the copper per slot.
Additionally, the manufacturer was able to deliver a higher fill factor at 38
AWG than subsequently smaller values of ds, making it the overall most
desirable choice.
Ultimately, the results of this analytical model enabled a comparative AC
loss analysis of di↵erent Litz wire topologies for the same rectangular stator
slot. With the addition of manufacturing data, the most desirable Litz wire
topology in terms of minimizing losses and manufacturability was chosen at
38 AWG. This design includes 15 bundles with 44 strands each arranged in a
conductor of 0.244” by 0.063”. However, this analysis did not consider spe-
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cific geometry features of the machine such that the following finite element
analysis will refine and verify the results of this analysis for the 30 and 38
AWG Litz wire designs.
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CHAPTER 4
A FINITE ELEMENT ANALYSIS OF AC
LOSSES
In order to verify and refine the solution derived by the analytical model in
the preceding section a finite element model was developed to initiate a time-
stepping transient magnetic analysis of the machine. In addition to including
a detailed outline of the machine geometry and assign corresponding mate-
rial properties, this type of analysis incorporates the rotation of the outer
PMs as the source of the sinusoidal flux wave in the airgap. Subsequent post
computations included in Flux R , a finite element analysis software (FEA) by
Cedrat, extracted the e↵ects of eddy-currents inside each Litz strand to com-
pute the total AC losses in the winding. The chapter will first introduce the
model setup including geometry features and material properties as well as
elaborate on discretization and boundary conditions assigned in the model.
Subsequent results will be presented and compared to the preceding analyt-
ical model with the extension to analyzing any high-frequency components
as well.
4.1 Model Setup
Despite gaining the ability to e↵ectively model complex geometries in the
finite element method (FEM) it was also important to simultaneously maxi-
mize computational e ciency to advance results as rapidly as possible. For
this purpose it was decided to confine the model to the xy-plane and sub-
sequently scale the loss calculations by a homogeneous depth equal to the
active length of the machine in the zˆ-direction. This two-dimensional ap-
proach is based on the fact that AC losses are primarily concentrated in the
active region due to the direct exposure to the overhead PM. On the other
hand, endwindings typically do not experience similar flux densities such
that the concentration of AC losses in these locations is likely to be sparse.
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Hence the addition of one dimension to incorporate any additional parts
would have added little refinement in terms computing AC losses relative to
the significant increase in computational load.
Even though one of the advantages of FEM is the employment of param-
eterization to extend the analysis across di↵erent geometries, the content of
this analysis only focused on two designs: the baseline 30 AWG 7x7 design
and the proposed 38 AWG 15x44 design introduced in the preceding chap-
ter. In contrast to the analytical model, the purpose of the FEA was not
to sweep all viable topologies but to verify and refine previously identified
designs. Hence, to complement this analysis the two hardware options for
each model were chosen as well.
One of the first decisions before assembling the stator and rotor structures
was to decide on the geometry of the bundle construction as shown in Figure
4.1. Firstly, in order to increase computational e ciency, the geometry does
not include any electromagnetically insignificant element such as the individ-
ual polyimide strand-insulation. Secondly, whereas conductors in an actual
hardware prototype are allowed to amend their perfectly circular shape in
order to be pressed into a given area, this is an inflexible and ine cient
manner to model such geometries in FEA. After consulting a prototype 30
AWG Litz wire shown in Figure 4.1a, the bundle construction was modeled
as concentric layers of individual strands and arranged next to each other
within the rectangular area of the entire Litz wire. Final examples of the
bare geometry for each strand diameter are shown in Figure 4.1b and 4.1c
respectively, where the width of the 38 AWG model was doubled to 0.244”,
and the height remained constant for both at 0.063”. Evidently, this partic-
ular choice of bundle arrangement may not actually correspond to the final
representation in the machine; however, later analysis proved that alterna-
tive arrangements concluded in only minor changes in regards to overall AC
losses.
Next, to improve model e ciency the smallest repeatable geometry of the
machine was chosen such that the computed results could be extrapolated
across the entire machine by applying periodic boundary conditions. In this
case, one pole-pair was modeled as seen in an annotated version in Figure
4.2a, where a magnified version of a six-turn 30 AWG Litz wire and the
extrapolated machine model across 60 pole-pairs are shown in Figure 4.2b
and 4.2c respectively. In terms of rotor and stator constructions in this
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(a) Magnified cross-section of an epoxy-impregnated 30 AWG 7x7 Litz prototype wire
(b) Finite element geometry of 30 AWG 7x7
(c) Finite element geometry of 38 AWG 15x44
Figure 4.1: Bundle construction comparison between 30 AWG Litz
prototype and finite element geometry.
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(a) Annotated geometry of one pole-pair
(b) Magnified armature winding model: six-turn 30 AWG slot model
(c) Extrapolated machine model across 60 pole-pairs
Figure 4.2: Construction details of finite element model.
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model, the outer rotor includes the retaining ring and the PM assembled in
a Halbach array to minimize any leakage flux radially outwards. The stator
is constructed from an iron yoke and fitted with two slots per phase per pole
as indicated by di↵erent colors in Figure 4.2a. The material properties for
all annotated components are listed in Table 4.1 for reference.
After the the geometry is finalized and the domain is completely defined,
the mesh generation employed first-order triangular basis functions. There-
fore, each element includes three nodes such that a given potential ( ) at
each corner of the eth triangular element can be described by (4.1). Here, x
and y are the two-dimensional coordinates of the ith node where i = 1, 2, 3
per element. From the resulting system of equations the coe cients a, b,
c can be solved for such that the potential can be extrapolated across the
entire element using triangular interpolating functions in (4.2), where  e is
the area of the eth element.
 ei
 
xi, yi
 
= a+ bxei + cy
e
i (4.1)
N e
 
x, y
 
=
1
2 e
✓
ae + bex+ cey
◆
(4.2)
Figure 4.3 illustrates an example mesh in a six-turn 30 AWG Litz wind-
ing, where an alternative bundle construction has been shown in the upper
right-hand corner. In order to employ smaller elements in areas of large
concentration of detail an adaptive mesh was used to scale the size of the
triangular element in proportion to the size of the geometrical feature. Given
the relatively large di↵erence in scale of the individual strand compared to
the remaining features in the domain, this mesh property proved su cient
for computing AC losses in the windings. For reference the numbers of nodes
(Nn) and elements (Ne) for each model are given in Table 4.2.
Lastly, boundary conditions were applied along each annotated boundary
line in Figure 4.2a. The computational domain was truncated by terminating
the area of the problem study domain with an outer boundary su ciently far
away from the device so as not to interfere with the results at lines A and B.
In essence, this “infinite box” method enforces the homogeneous Dirichlet
boundary condition along its outer surface such that the magnetic potential
is set to zero. Secondly, the Neuman boundary condition, which is also often
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Figure 4.3: FEA discretization of 30 AWG six-turn model with alternative
bundle composition in the upper right-hand corner.
referred to as natural boundary condition, is enforced along lines C and D
such that the normal derivative of the magnetic potential remains continuous.
This ensures that no reflection occurs at these boundaries when an anti-
periodic rotational symmetry is placed along these lines to extrapolate the
analysis to the entire machine. The same natural boundary condition is also
implicitly enforced across interfaces of di↵erent materials.
Table 4.1: Material properties listed by component
Material Property Value
Retaining Ring
⇢ [⌦m] 0
µr 1
NEOREC 45SH [13] Br [T] 1.25
(PM) µr 0.9042
Copper
⇢30 [⇥10 8 ⌦m] 2.01
⇢38 [⇥10 8 ⌦m] 2.09
µr 1
Yoke
Bsat [T] 2.2
Co 0.2
µr,i 500
Table 4.2: Discretization for one pole-pair domain
Model Nn Ne
30 AWG 145,250 72,222
38 AWG 593,724 49,675
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4.2 Results
4.2.1 AC Losses
This section presents the FEA results simulated at the fundamental frequency
of 3 kHz for a duration of two periods. In order to only extract the joule
loss due to induced eddy-currents in the winding, the DC current inside each
strand was forced to zero to avoid intermixing di↵erent types of losses.
Figure 4.4a depicts a color plot of the magnetic flux density distribution
in the three-turn armature winding and airgap. As indicated in this plot the
flux distribution is position-dependent and varies in magnitude throughout
the slot with an average value of 0.85 T in the airgap. Furthermore, these
results underline the need to refrain from assuming a uniform magnetic flux
density distribution as proposed in Tang’s original model and revert to using
the results of the FEA. Thus, several sensors were placed throughout the slot
to record each peak magnetic flux density to later form the combined spatial
average value (Bˆ).
Second, Figure 4.4b illustrates the peak induced current density (Jˆ), where
the third-turn 38 AWG Litz wire has been chosen out of the three-turn wind-
ing. Despite relatively large peak current densities in the top left-hand corner
(⇡ 38 A/mm2) the majority of the slot still experiences current density well
below 2 A/mm2 as shown in dark red. Furthermore, note the sign convention
of Jˆ , which indicates the direction of induced eddy-current in the zˆ-direction.
As proposed in chapter 3 AC losses were calculated at approximately 75%
of the DC losses such that the spatial average of the induced RMS slot cur-
rent density due to eddy-currents by themselves should be smaller than an
overall average of 7 A/mm2. Since the energy density is proportional to the
square of the current density, the direction does not impact any of the loss
calculations.
In order to compute the joule losses inside each strand due to the induced
eddy-currents, the instantaneous electric power density is integrated over the
volume ⌦ of each face as denoted in (4.3). Here, E
 
t
 
is the instantaneous
electric field vector, and J
 
t
 
denotes the instantaneous induced current den-
sity that a given strand experiences. The magnetic flux density changes as a
function of time due to the change in position of the rotor, and equivalently
the result of the integral in (4.3) will similarly follow a sinusoidal trend.
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(a) Magnetic flux distribution in the air-gap and armature windings simulated at 3 kHz
(b) Induced eddy-currents within the third-turn Litz wire
Figure 4.4: Results for magnetic flux density distribution and induced
current density in the 38 AWG FEA model.
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Thus, an average AC power loss will be calculated by (4.4), where T denotes
the period, and  t is equal to (t0 + T )  t0.
P
 
t
 
=
ZZZ
⌦
E
 
t
  • J t  d⌦ (4.3)
Pav =
1
 t
Z t0+T
t0
P
 
t
 
dt (4.4)
Table 4.3 lists the cumulative FEA results alongside the analytical calcu-
lations for strand diameters 30 and 38 AWG extrapolated across the entire
machine. To refrain from modeling the entire armature winding as stranded,
the FEA results for the 30 AWG were computed on a per-slot base, whereas
the 38 AWG model was calculated on a per-turn base. Each model assumed
a three-turn slot for 120 slots total. One potential limitation in extrapolating
losses in this manner is that the induced eddy-currents are inherently pro-
portional to B2, which, as seen before, is position dependent inside each slot.
Thus, in the case of the 38 AWG wire the results were scaled by the average
magnetic flux density in each turn to arrive at the final value in Table 4.3.
Subsequent finite element models, which modelled the stranded 38 AWG Litz
wire in the second and first turn, resulted in only 0.8% deviation compared
to scaling losses by B.
Nevertheless, good agreement is observed between analytical and FEA
results with the FEM producing slightly larger figures in both cases. This
observation will be the focus of the following section where the impact of
additional frequency harmonics in the air-gap will be analyzed in the context
of producing additional AC losses.
Table 4.3: Cumulative AC losses for FEA and analytical models normalized
to the entire machine
Model FEA [kW] Analytical [kW]   [%]
30 AWG 14.179 14.043 0.96
38 AWG 2.524 2.415 4.32
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4.2.2 Harmonic Analysis
As previously noted one of basic assumptions made in the analytical model is
that the fundamental frequency is the only source of eddy-currents. However,
AC losses are inherently driven by higher frequencies such that the presence of
higher harmonics in the flux density distribution may act as a significant loss
driver if the corresponding |B| due to a particular harmonic is considerably
larger than the fundamental component.
Typically slot harmonics arise due to a spatially non-uniform magnetic
reluctance in the air-gap caused by the presence of stator teeth. Two methods
to address these concerns in a machine design are larger airgap depths and
fractional slot windings to counteract the e↵ect of reluctance ripples on the
sinusoidal flux density distribution in the airgap.
However, the machine design proposed in this work neglects stator teeth,
employs a short-pitched 5/6 fractional winding, and incorporates a relatively
large radial airgap depth of 1 mm. Hence, the presence of slot harmonics
in the airgap is expected to be small. On the other hand, space harmonics
due to the discretization of the permanent magnets are expected in this
analysis. Each slot in Figure 4.2a includes one overhead pole such that 12
poles exist for two pole-pairs. Since the direction of magnetization for each of
these magnets is placed in a Halbach array there are 13 locations in between
neighboring magnets where this direction is changed, causing ripples in the
magnetic flux density. This design feature would point to the 13th harmonic
being one of the major high-frequency components in this analysis.
The first step was to identify which frequency harmonics were present in
the airgap and to what degree they were a↵ecting the overall flux density
distribution. For this purpose several locations within the 30 and 38 AWG
winding were chosen to extract B as a function of time as seen in Figure
4.5, where Figure 4.6 aids in locating each sensor. For instance, the location
marker BR refers to the right bottom row of a given turn in the winding.
The same sensor map was used with in the 38 AWG Litz wire as well.
Subsequently, a fast Fourier transform (FFT) for each sensor extracts the
harmonic content of the flux density wave. This analysis showed that besides
the fundamental frequency at 3 kHz, the single highest contributor was the
13th space harmonic at 39 kHz, as previously expected. However, as shown in
Table 4.4, this high-frequency e↵ect quickly falls o↵ with increasing distance
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(a) Top row, third turn
(b) Bottom row, third turn
(c) Top row, second turn
Figure 4.5: Fast Fourier transform of magnetic flux density in the 30 AWG
model at three locations within the winding.
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Figure 4.6: Illustration of name convention used to identify the location of
each flux density sensor on a 30 AWG Litz wire.
from the magnets with amplitudes of |B13| already decreasing by one magni-
tude when going from top to bottom row in the third turn. Graphically, the
same result can be recognized by comparing Figure 4.5a with 4.5b where the
degree of harmonic distortion in the sinusoid is already significantly reduced
by comparing the top and bottom rows. The flux density in the top row of
the second turn shown in Figure 4.5c already has negligible high-frequency
components. Thus, the densest concentration of induced eddy-current due
to the 13th harmonic is confined to the top row of the third turn.
Table 4.4: Comparison of 1st and 13th harmonic contributions to the
magnetic flux density in the airgap for both 30 and 38 AWG model
Model Turn Row |B1| [T] |B13| [T] |B13||B1| [%]
30 AWG
3 Top 1.001 0.013 1.26
3 Bottom 0.981 0.002 0.24
2 Top 0.978 0.001 0.06
38 AWG
3 Top 1.013 0.017 1.68
3 Bottom 1.000 0.008 0.79
2 Top 0.988 0.001 0.19
The second step was to construct a method with the ability to identify
the individual contributions of the 1st and 13th harmonics to the total AC
losses. Hence, a verification model was set up that included a more electro-
magnetically controlled environment and fewer strands. Figure 4.7a depicts
the geometric outline of the model with a line current placed on the left-
hand side producing a uniform magnetic flux density in the xy-plane with
a sinusoidal excitation directed in the zˆ-direction. Furthermore, in order to
reproduce the same fill factor (kcu) for each strand diameter as given in Table
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3.1, the size of the square conductor was automatically adjusted with respect
to the chosen strand diameter (ds).
Figure 4.7b plots the magnetic flux density at the center of the annotated
strand as a function of time and demonstrates a magnetically equivalent
environment at 3 kHz for a 30 AWG strand in the top row of the third turn
in Figure 4.5a. With this method at hand, the magnitude of the magnetic
flux density can be modified to |B13| as well, such that the same formulation
in (4.3) and (4.4) can be used to extract AC losses on a per-strand basis due
to a single frequency. Table 4.5 lists the extracted per-strand average row
AC power loss P ac,s due to the 13th harmonic only. The cumulative slot loss
can be computed by multiplying the per-strand power loss by the number of
strands (n) in that region. The total machine loss is then based on 120 slots
total.
The same procedure can be used to derive these results in the 38 AWG
FEA model, whose flux densities have been extracted at the same relative
positions within the conductor in Figure 4.8. The subsequent FFT analysis
similarly revealed that the largest high-frequency contribution was due to
the 13th harmonic, and primarily confined to the top row of the third turn
as well. Table 4.4 breaks down the relative magnitudes for |B1| and |B13|
as before. The final results for the 38 AWG model are shown in Table 4.6,
with an overall one third reduction in AC losses due to the 13th harmonic by
decreasing the strand diameter from 30 to 38 AWG.
Lastly, to achieve a fair comparison between FEA and analytical results,
the AC losses due to the 13th harmonic only were added to the previous
analytical results in Table 4.3. This combined loss figure shown in Table 4.7
shows that the discrepancy between FEA and analytical results has decreased
by 0.5% and 1.3% for the 30 and 38 AWG designs respectively. In conclusion,
the finite element model verified the 38 AWG design derived by the analytical
model such that a high degree of consistency was observed between both
methods to compute AC losses. Additionally, high-frequency components
in the airgap flux density were analyzed to conclude that almost negligible
losses are caused by the space harmonics due to the PM arrangement in a
Halbach array.
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(a) Geometry of verification model
(b) Plot of magnetic flux density as a function of time taken at the center of annotated
strand
Figure 4.7: FEA verification model for 30 AWG Litz wire simulated at 3
kHz.
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(a) Top row, third turn
(b) Bottom row, third-turn
(c) Top row, second turn
Figure 4.8: Fast Fourier transform of magnetic flux density in the 38 AWG
model at three locations within the winding.
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Table 4.5: FEA AC loss break-down for 39 kHz in 30 AWG model
Turn Row n P ac,s [W]
3 Top 42 1.18⇥ 10 2
3 Bottom 56 4.07⇥ 10 4
2 Top 196 2.62⇥ 10 5
Slot Total 294 0.56
Machine Total 35,280 67.42
Table 4.6: FEA AC loss break-down for 39 kHz in 38 AWG model
Turn Row n P ac,s [W]
3 Top 308 5.50⇥ 10 4
3 Bottom 352 1.16⇥ 10 4
2 Top 1,320 6.80⇥ 10 6
Slot Total 1,980 0.21
Machine Total 237,600 26.33
Table 4.7: Revised loss comparison by compiling additional AC losses due
to the 13th harmonic into the previous analytical results
Model FEA [kW] Analytical [kW] Revised Analytical [kW]   [%]
30 AWG 14.179 14.043 14.110 0.50
38 AWG 2.524 2.415 2.442 3.00
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CHAPTER 5
CALIOMETRIC AC LOSS EXPERIMENT
Having completed the finite element investigation in the preceding chapter,
an experiment is developed to verify the methods used in the FEA to compute
AC losses. To bypass a complete assembly of the machine to experimentally
verify the finite element model that was previously presented, a smaller setup
is used in this experiment that mimics the electromagnetic environment of
the machine. By computing AC losses of this smaller setup both numerically
and experimentally an attempt is made to empirically verify the methods
used to compute losses that have been presented in this thesis. In terms of
structure, this chapter will introduce caliometry to measure AC losses first,
followed by a detailed explanation of the experimental setup and procedure,
as well as the corresponding setup of the FEA. Lastly, experimental results
will be presented and discussed alongside the finite element calculations.
5.1 Motivation
The motivation for this experiment was to measure AC losses prior to the
complete assembly of the machine. However, given the high power require-
ments in the machine to achieve the exact same electromagnetic environment,
such as an RMS current of 70 Arms at 3 kHz, it was di cult to construct a
small scale setup mainly due to equipment limitations and safety concerns.
However, instead of replicating the same operation scenario the purpose of
this experiment is to simply verify the method used to compute AC losses
in the finite element software. Hence, an experiment that employs a weaker
magnetic field would still be insightful to establish a meaningful comparison
between finite element and experiment loss calculations.
The decision to experiment with a weaker magnetic field would evidently
yield smaller AC losses, which require a more complex measurement tech-
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nique than simply recording input and output power. Caliometry is a popu-
lar method often used in high-e ciency power electronics to accurately infer
small losses by measuring temperature changes in a thermally isolated en-
vironment [14],[15]. Equivalently, the same principle can also be used in
electric machines as shown in an overview of caliometric methods in [16].
The two main categories of caliometry are direct and indirect methods.
The direct method can further be subcategorized into two di↵erent ap-
proaches. In the gas-cooled open caliometry a gas coolant, typically air,
is blown into the caliometric chamber at a given temperature, picks up the
heat released from the device under test (DUT), and leaves the chamber at a
higher temperature. The change in temperature for a fixed volume of gas is
then converted into energy using a given specific heat capacity and mass flow
rate. Despite an easy setup for this method, the experiment is not shielded
against any environmental changes over time inside the chamber such that
the specific heat capacity may vary due to pressure or humidity changes in
the environment
Secondly, the liquid-cooled open caliometry utilizes a closed-loop system
such that the coolant can be pumped throughout the chamber. With the
help of a heat-exchanger the coolant acts as the medium to extract the heat
from the DUT. By measuring inlet and outlet temperature of the coolant
and given the flow rate and specific heat capacity of the liquid, an equiva-
lent energy value can be extracted from a change in temperature. However,
despite high measurement accuracies this approach oftentimes requires sig-
nificant infrastructure to set up and elaborate sensing methods to record the
temperature of the water reliably.
On the other hand, balanced indirect caliometry uses an additional heating
device with known power loss to simulate the heat dissipated from the DUT
inside the chamber first. This results in a calibration curve of known input
power versus measured temperature change of the auxiliary device. Without
changing the thermal capacity of the box, the second phase then measures
the temperature change of the DUT under normal operation, from which a
power loss can be inferred through the previously attained calibration curve.
The advantage of indirect caliometry is that an accurate measurement can be
attained without having to characterize the specific heat capacity of a transfer
medium or monitoring the flow rate at entry and exit points of the chamber.
On the other hand, a delicate balance has to be maintained between sealing
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the interior of the chamber from any external environment changes versus
the time required to reach thermal equilibrium. And regardless of the time it
takes to reach this equilibrium point, the duration of the experiment is close
to doubled compared to the direct methods.
Nevertheless, due to the easy installation and a low component count the
balanced indirect caliometry was chosen over the direct approaches. The
following section will elaborate on the test procedure as well as the data
processing needed to compare experimental results to the FEA.
5.2 Procedure
The procedure of this experiment includes four stages that have to be com-
pleted in order to compare an experimental measurement of AC losses to a
numerically computed result from the finite element software. The individual
data processing at each stage is further elaborated in section 5.2.1.
1. Calibration
2. Experiment A
3. Experiment B
4. Finite Element Computation
The first stage of the experiment has to be completed prior to any sub-
sequent stage. During the calibration of the box all components needed for
the experiment are assembled inside the box such that the thermal mass of
the interior chamber does not change during the entire procedure. A known
DC input power is supplied from an external supply to the auxiliary heat-
ing device to mimic the heat dissipated of the DUT, which is at this point
not under operation. For a given input power level an internal temperature
change is measured by various thermocouples that are attached to the DUT.
The final temperature change can be determined once the experiment has
reached a thermal equilibrium.
After several cycles at di↵erent input DC power levels a calibration curve
can be established that plots the internal change in temperature versus the
input DC power. The calibration coe cient can be determined by slope of a
linear trend line fitted to this data.
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After the calibration stage is completed the auxiliary heating device is
disconnected and the DUT is now under operation. Experiment A includes
an excitation Litz winding that produces a given magnetic field dependent on
the input AC current level and frequency. Equivalently to the first stage, an
array of thermocouples measures the subsequent rise in internal temperature
until an equilibrium is reached.
In experiment B an open-circuit test Litz winding is added to the experi-
mental setup such that it is exposed to the main magnetic field produced by
the excitation winding. The same operating conditions as in experiment A
are chosen and the subsequent measurement of internal temperature change
is compared to the first experiment.
Since the test winding only experiences AC losses compared to the excita-
tion winding that is exposed to both DC and AC losses, it is expected that
the change in temperature of experiment B is higher compared to A. This
di↵erence in temperature, which is solely attributed to AC losses in the test
winding, can be converted into an equivalent power measurement by using
the calibration coe cient.
Finally, the fourth stage of the experiment requires that the DUT is mod-
eled in a finite element software and operated under the same conditions as
in the second stage. The AC losses and the RMS magnetic flux density for
the given current level can be readily extracted from the model and directly
compared to the experimental value.
5.2.1 Data Processing
An important consideration in recording temperature data is that the mea-
surements inherently include noise due to small fluctuations in external tem-
perature or positional variations of the sensors within the chamber. For this
purpose multiple thermocouples are employed on the interior and exterior of
the box to record any fluctuations in external temperature. Later on these
multiple data sets will be used to smoothen out the results by averaging
across interior and exterior temperatures.
After the completion of the experiment an average of the external temper-
ature measurements is computed at each time step in (5.1), where n is the
total number of external thermocouples.
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T¯e(t) =
1
n
nX
k=1
Te,k(t) (5.1)
Subsequently, the average external temperature is used as a reference tem-
perature at each time step such that each of the m interior thermocouple
measurements is adjusted to this reference temperature as shown in (5.2).
 Ti,1(t) = Ti,1(t)  T¯e(t)
...
 Ti,m(t) = Ti,m(t)  T¯e(t) (5.2)
Finally, to arrive at an overall internal temperature change a second aver-
age of all adjusted internal temperature measurements is computed as shown
in (5.3) such that this average value at the final time-step denotes the overall
change in internal temperature for a given experiment.
 T¯i(t) =
1
m
mX
k=1
 Ti,k(t) (5.3)
The last part of processing the data is to apply a nonlinear regression fit
to  T¯i(t) to attain a less noisy set of data and guarantee consistency across
processing multiple sets of temperature data. For this purpose the curvefit
toolbox in Matlab R  was used to fit the data at each time step to the form
in (5.4), where coe cients A, B, and C were computed for each experiment
to minimize the residue for the entire data set. The fitted data set was used
to compute the final adjusted temperature change within the caliometric
chamber in both calibration and experimental stages.
 T¯i,fit(t) = Ae
  tB + C (5.4)
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5.3 Test Setup
5.3.1 Experiment
The test bench for this experiment includes the fixture for the device under
test (DUT) and the auxiliary heating device, which are both enclosed in a
polystyrene caliometric chamber that insulates the interior test setup from
the external environment. The dimensions of the chamber are 11” (height)
by 13” (width) by 15” (depth) and a wall thickness of 1.75”. It includes
two opposite wire entries designated for the auxiliary heating element and
the excitation winding respectively. Figure 5.1a displays the top-view of the
caliometric chamber with an auxiliary DC fan and the DUT fixture that only
includes the bottom core.
For the magnetic structure two high-frequency ferrite E-cores from Ferrox-
cube R  were chosen with the material classification 3C95 [17]. The dimensions
of the core are 80 mm (height) by 38 mm (width) by 19.8 mm (depth). In
order to expose the test windings axially to a magnetic flux density inside an
airgap the center leg of the bottom E-core is gapped by 1.9 mm as shown in
Figure 5.1b.
By winding the excitation winding around the gapped leg and control-
ling its AC current from an external supply, a sinusoidal magnetic field is
established inside the airgap in the yˆ-direction (experiment A). To subse-
quently measure AC losses due to induced eddy-currents three test windings
are axially placed into the airgap in the zˆ-direction (experiment B).
The auxiliary heating device is a linear heat strip resistor of 227 ⌦, rated at
220 W, such that its resistance varies linearly with changes in temperature.
It is supplied by an external 12 V DC power supply and rests on top of an
aluminum structure fitted with two ceramic stand-o↵s to prevent any damage
to the polystyrene box due to higher temperatures. This support structure
also ensures that the vertical distances from the top and bottom of the box
to the heating source are approximately equal to each other to maintain the
same thermal resistance in the vertical direction.
An auxiliary 5 V DC CPU fan is installed inside the box to distribute
the dissipated heat of the resistor evenly throughout the chamber during the
calibration phase. It is powered from an external DC power supply such
that its input power is added into the calibration curve to account for any
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(a) Top-view of caliometric chamber with bottom E-core only
(b) Side view of annotated test setup schematic
Figure 5.1: Caliometric chamber with component description.
44
additional heat generated by the fan during the experiment.
In order to measure the change in internal temperature four thermocouples
(type J) are attached at various locations on the bottom E-core. In order to
ensure the most thermally conductive bond between core and thermocouple
a high-e ciency silicone-based heat sink compound is applied onto the core
first and the thermocouple is then attached with an aluminum tape on top
of the paste. A fifth sensor is attached in the same manner at the bottom
of the resistor to measure its hotspot temperature and ensure no damage to
the equipment.
At this point it is important to note that the locations of the heat source
during calibration and experiment di↵er. However, in order to form the best
isothermal assembly as possible each separate part in the assembly (resistor,
core, and coil) is brought into close proximity and bonded with the same
silicon based heat sink compound to improve the thermal conductivity of the
entire test bench. Additionally, the DC fan ensures an even temperature dis-
tribution throughout the chamber and test structure. Therefore, a negligible
temperature variation is assumed between the DC resistor and the excitation
winding.
Whereas ideally the external temperature of the caliometric chamber is
stable throughout the entire experiment, variations are likely to occur due
to the long testing period. Hence, three external thermocouples are attached
on top of the box to simultaneously record the external temperature together
with the internal temperature measurements. This practice ensures that each
internal temperature reading corresponds to a measured external reference
temperature.
Lastly, the power supply used to generate the AC current for the excitation
winding at a fundamental frequency of 3 kHz is a high performance AC test
power supply by Pacific R . To attain the highest output RMS current it is
operated in single-phase mode and rated up to 150 V (line-neutral). The
excitation and test windings are made out of 30 AWG 7x7 Litz wire supplied
by New England Wire Technologies R . The axial length of the test winding
was measured at 22.7 mm.
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5.3.2 Finite Element Model
Correspondingly to the experimental setup, a two-dimensional static mag-
netic finite element model is designed in Flux R , which is displayed in Figure
5.2. The test windings and six turns of the excitation windings are modeled
using the same conductor geometry as previously shown in Figure 4.1b. The
remaining 30 turns of the excitation winding are modeled as current blocks
with a 50% copper fill factor.
Figure 5.2: Finite element geometry of experimental test bench.
Electrically, the excitation winding includes 49 parallel strands wound
around the center leg 36 times. The test winding, on the other hand, is
left open-circuit, i.e., the current source connected to each conductor is set
to zero. Hence, the RMS current value from the experiments A and B is
first scaled to its peak value and subsequently divided by the total number
of strands.
The geometry of the E-core corresponds to the measurements of the ac-
tual core with the magnetic characteristics taken from the manufacturer’s
data sheet [17]. The model is extruded in the zˆ-direction by the depth of
the physical core. The entire setup is enclosed in an infinite box such that
Dirichlet boundary conditions are applied along its outer surface. Similarly
as before, Neumann boundary conditions are implicitly enforced throughout
the domain.
The AC power loss is extracted from the test windings according to (4.3)
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and later scaled to the experimental length of each test winding.
5.4 Results
5.4.1 Calibration
As previously noted in section 5.2, the first step in the experiment is to
calibrate the caliometric chamber once the entire test setup is assembled.
Previous experimental trials had determined a testing period of 4 hours as
su cient with a measurement interval of 10 seconds. The data was recorded
using an Agilent multi-port measurement data logger. After the completion
of each experiment the data was processed according to the procedure laid
out in section 5.2.1.
Table 5.1 summarizes the processed data showing the total input DC power
(Pi), consisting of the heat dissipated in the DC resistor and the auxiliary
fan, and the average adjusted internal temperature ( T¯i,fit). The absolute
error (✏) for each data point was determined by taking the largest discrepancy
between the fitted adjusted average internal temperature and each individual
adjusted internal measurement at the final time-step, i.e. | T¯i,fit    Ti,k|,
where k = 1, . . . ,m.
For demonstration purposes Figure 5.3a displays the results of one of the
calibration experiments. In this case, the fitted and measured adjusted aver-
age internal temperature measurements are compared to visualize the need
for a mathematical fit due to the degree of noise that is still present in the
measured average.
After all experimental data for the calibration has been compiled and pro-
cessed, each data point is plotted in Figure 5.3b. Subsequently a linear trend
line is fitted to calibration data set and its slope (i.e. Pi =  c T¯i,fit) is re-
ferred to as the calibration coe cient  c [W/ C], which is unique to the test
bench in this experiment. For this set of data the coe cient was computed
at
Pi = 0.3625 T¯i,fit (5.5)
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(a) Temperature recording for Pi = 6.451 W of  T¯i and  T¯i,fit
(b) Calibration curve
Figure 5.3: Experimental results from the calibration stage.
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Table 5.1: Temperature data for calibration stage
Pi [W]  T¯i,fit [ C] ✏ [ C]
1.888 3.363 0.340
5.037 12.773 0.884
6.451 16.541 0.024
7.727 20.678 0.459
9.821 28.040 0.153
11.543 32.306 0.110
5.4.2 Experiment & FEA
This section combines the results attained from experiment A and B as well
as the finite element calculations. Each paired experiment was started at
approximately the same time on subsequent days to prevent any impact of
external environmental changes due to di↵erent conditions in the laboratory.
Measurements for each experiment included the exterior and temperature
recordings as well as the RMS quantities for voltage, current, and power
from the external AC power supply. The measurement interval was fixed at
5 s and the total duration of the experiment depended on how quickly the
setup reached thermal equilibrium in each scenario. The complete data was
acquired during a course of five weeks.
To compute the finite element results the steady-state operating conditions
from experiments A and B were copied and simulated for two periods at 3
kHz. Subsequently, the average AC losses in the test windings were extracted.
For illustration purposes, the fitted curves for the fourth data set are shown
in Figure 5.4. As expected the final temperature of experiment A ( T¯ ai,4) is
lower than in experiment B ( T¯ bi,4) due to the presence of induced eddy-
currents in the test windings that cause extra heat dissipation.
Table 5.2 tabulates the final processed results for each experiment paired
with the finite element counterpart calculation. Here, Irms denotes the line-
to-neutral RMS input current from the external supply. The di↵erence in
final adjusted average internal temperature between experiment A and B is
denoted by  Tba, where the final temperature of experiment B was consis-
tently higher than that of A. The RMS magnetic flux density at the center
of the airgap is denoted by Brms and is attained through the finite element
model. The AC power loss in the experiment and in the finite element model
are given by Pexp and Pfea respectively, and the absolute percentage error is
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Figure 5.4: Comparison between fitted adjusted internal temperature
measurement for fourth experiment.
given by  .
Table 5.2: Comparison between experimental and finite element results
No. Irms [A]  Tba [ C] Brms [T] Pexp [W] Pfea [W]   [%]
1 2.60 0.318 0.107 0.1152 0.1008 13
2 2.70 0.330 0.111 0.1197 0.1084 9
3 3.37 0.526 0.138 0.1906 0.1696 11
4 3.86 0.694 0.158 0.2515 0.2220 12
5 4.51 0.927 0.184 0.3361 0.2995 11
6 5.65 1.448 0.230 0.5250 0.4688 11
Figure 5.5 illustrates the comparison between experimental data and finite
element computation. In Figure 5.5a each data point from Table 5.2 is plotted
and subsequently a first degree polynomial trend line is fitted to each data set.
The form of the trend line is given in (5.7) where Pexp,fit and Pfea,fit denote
the power loss in the experimental and finite element data respectively, with
computed coe cients a1 and a2 listed in Table 5.3.
50
(a) Plot of experimental results with finite element computation
(b) Plot of extended experimental and finite element AC loss trend line
Figure 5.5: Comparison of experimental and finite element AC power loss
versus magnetic flux density.
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Pexp,fit = a1B2rms (5.6)
Pfea,fit = a2B2rms (5.7)
The motivation for this particular polynomial form stems from Chapter 3
where the analytical solution developed by Tang and Sullivan in (3.3) denotes
a quadratic relationship between AC losses and magnetic flux density. Hence,
if the experimental data would conform to the same fundamental relationship
as in the analytical solution, it would also validate the model chosen at the
beginning of the analysis.
The experimental data plotted in Figure 5.5a confirms this quadratic rela-
tionship. Moreover, when extending the flux density to higher values in Fig-
ure 5.5b and comparing both sets of data (Pexp,op, Pfea,op) at the operating
RMS magnetic flux density in airgap of the machine (0.9 T), the percentage
error is computed at 12%. Hence, it is encouraging that the percentage error
does not significantly increase at higher values of Brms, which validates the
experimental technique.
However, despite recognizing the anticipated quadratic trend in the data,
it is important to note that a noticeable percentage error still exists in the
result. Besides a proportion of error that is incurred by processing the data
and the inherent noise in temperature measurements in general, the more
interesting distinction between both sets of data is that the experiment also
captures three-dimensional e↵ects on AC losses. As previously noted, the
majority of AC losses is expected to be in the axial direction of the test
winding as modeled in the two-dimensional finite element geometry. How-
ever, secondary e↵ects due to fringing and bundle transposition are di cult
to capture without building a three-dimensional model in the software and
are expected to drive up losses in the experimental test setup across each
experiment.
Ultimately, the results of this analysis are encouraging because they vali-
date the methods used to compute AC losses in the finite element software.
Furthermore, the trend line fitted to each data point empirically confirms the
solution form in the analytical method. The conclusion drawn from this is
that despite a conservative two-dimensional finite element model, there are
additional secondary loss mechanisms that may only be captured in a three-
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dimensional model environment. But despite the existence of these additional
e↵ects, this experiment reinforces the analysis and loss characterization that
has been presented in this thesis.
Table 5.3: Value for quadratic coe cient for polynomial trend line
Coe cient Value
a1 9.939
a2 8.857
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CHAPTER 6
LITZ WINDING MANUFACTURING
In the context of the entire winding development, the preceding chapters have
particularly elaborated on the AC loss characterization and minimization
such that a final 38 AWG 15x44 Litz wire design has been proposed that is
favorable from a loss point of view and available to acquire from the vendor.
The final stage in the winding development process is to create a process
capable of manufacturing an in-house prototype. In terms of structure, this
chapter will introduce the suggested winding method with a detailed process
explanation of pre- and post-winding methods that have been developed
throughout multiple manufacturing trials. Lastly, a final prototype will be
presented with closing remarks focused on future work.
6.1 Winding Method
Previously much of the analysis has focused on the design of the individual
Litz wire such that the strand diameter and bundle construction were partic-
ularly important in the context of minimizing AC losses. An equally impor-
tant aspect in the armature development cycle is to determine the winding
method used to form the winding geometry and assemble all windings onto
the stator.
From a manufacturing point of view one of the most di cult areas in the
winding geometry is the endwinding turn, where relatively tight turn radii
are preferred to avoid wasting large amounts of copper that do essentially
little electromagnetic work. Secondly, the winding method has to ensure
that all three turns can fit into a designated winding window of 3  angular
width. At an inner winding radius of 5.1915”, the chord length per slot can
be calculated at 0.272”. After accounting for a 5 mil insulation gap between
neighboring windings, the net width per slot used for placing the winding
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results in 0.262”.
With these primary manufacturing considerations in mind, Figure 6.1 il-
lustrates a computer-aided design (CAD) models proposing three di↵erent
winding methods. Whereas the toroidal design results in the shortest end-
winding length out of all three choices and uses the easiest mechanical imple-
mentation of the winding, it essentially uses twice the total winding length
by winding around the entire yoke. However, since the magnetic flux does
not couple with the armature current at the backside of the yoke this extra
length adds extra DC losses and weight rendering this choice undesirable.
Secondly, the single-layer lap winding is often presented as a popular choice
in three-phase electric machines because of its short endturns and an auto-
mated assembly process. However, the endwindings feature a sharp 180  turn
such that a highly stranded Litz wire would likely loose structural support
at these locations and flare out instead.
Figure 6.1: Proposed winding methods: (a) Toroidal winding, (b) Single
layer lap winding, (c) Staggered winding [18].
Hence, the staggered winding was chosen because of its superior endwind-
ing geometry and proven performance with Litz wire at high frequencies [18].
The advantages are relatively short endwindings such that the majority of
the copper is employed in the active region and the ability to replicate the
endwinding geometry across each phase. Figure 6.2a illustrates a top-view
of the staggered winding with the color identifying each phase. Thus, the
only di↵erence in winding geometry between phases A, B, and C is the axial
length of each winding which is easy to extend from a manufacturing point of
view. The geometry of the endwinding remains unchanged such that phases
can be stacked together in the final assembly.
On the other hand, this choice of winding method is also accompanied by
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(a) Top-view
(b) Axial-view
Figure 6.2: CAD model of staggered winding method.
a trade-o↵ because the final winding assembly depends on the exact repeata-
bility of the endwinding geometry across all 60 windings as seen in Figure
6.2b. Especially small width expansions beyond the designed tolerances may
be exaggerated when multiplied around the stator. Secondly, three di↵erent
windings will now be stacked at the endwindings, thereby deteriorating the
thermal performance at these places. The heat produced by the outermost
winding has to travel through two additional windings towards the inner heat
fins.
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6.2 Process Development
6.2.1 Winding Frame
The first stage in the manufacturing process is the development of a winding
frame that aids in producing the endwinding geometry during the manual
winding assembly. It was clear from the beginning that a support structure
would be needed to guarantee dimensions as well as the repeatability of this
particular geometry. Besides facilitating the winding process it also allows
for the epoxy to flow into the winding during the curing stage to improve
bonding strength and shape retention.
For this purpose additional CAD models of the winding frame were created
that could be readily exported and printed using a 3-D printer. This key
process decision enabled a quicker and inexpensive prototyping production
such that multiple structures could be printed more quickly and refined by
subsequent winding trials. Figure 6.3 illustrates this design process with the
front piece of the winding frame chosen as an example. The prototype was
first modeled in a CAD program (Figure 6.3a) and then fabricated using
selective laser sintering because of the high printing precision ( 4 mil) and
the material’s high temperature tolerance to about 120  C (Figure 6.3b).
One particular challenge in the winding process was the dimensional ex-
pansion of the 38 AWG Litz wire at sharp corners and turns. In particular,
the highest dimensional expansion of the conductor was observed at edge of
the stator (Figure 6.2) because of the highest stress concentration. In or-
der to incorporate this into the design of the support structure, these edges
were rounded o↵ and the inner angle of the arc increased from 90  as seen in
Figure 6.2b to slightly larger values. This will spread out the stress along a
larger surface area of the wire than using a sharper edge corner.
Furthermore, to improve the control over width and height of the winding
the entire winding was enclosed into the winding frame such that additional
vertical and horizontal pressure could be applied. Figure 6.4a presents the
final assembly of the winding frame separated into the main frame structure,
and the auxiliary top and side pieces. Note that this structure can easily be
multiplied for each phase by only changing the length of the center piece.
The application of pressure during the curing process was crucial to main-
taining the dimensions of the winding; however, it was important not to
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(a) CAD model
(b) 3-D printed model
Figure 6.3: Prototyping process of front piece of winding frame.
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scratch any of the strands during this process due to the risk of accidentally
creating a short. Hence, a frame structure o↵ered the best solution to control
dimensions without damaging the hardware while applying pressure. Two
examples of this process are shown in Figure 6.4b and 6.4c where C-clamps
have been primarily used to apply vertical and horizontal pressure.
6.2.2 Pre-Winding Treatment
Despite the introduction of a fully enclosed winding frame to improve the di-
mensional control of the winding, additional steps had to be taken to support
the structure of the Litz wire during the winding process. The preservation of
the braided structure is important for the purpose of reducing eddy-current
due to proximity e↵ects as previously addressed in Chapter 2. However,
tight turns and any application of excessive tension during the winding pro-
cess would cause this structure to come apart, thereby increasing horizontal
and vertical dimensions.
The idea was to insert an additional pre-winding process that would help
preserve the braided structure of the Litz wire during the winding process
without making it too rigid or causing substantial increases in dimensions.
Notably it also had to form a bond with the main epoxy that was applied
in between turns. The solution was to apply room-temperature vulcaniza-
tion (RTV) silicon paste with medium hardness to the wire approximately
24 hours prior to winding. Two trade-o↵s to applying RTV along the entire
length of the winding are the dimensional expansion and deteriorating ther-
mal performance. It was therefore determined to minimize the pre-treatment
of each winding to the endwindings only as seen in Figure 6.5.
This method in conjunction with the winding frame proved superior and
resulted in winding dimensions that were within designed tolerances. Sec-
ondly, no initial problems were observed with the bond formation between
RTV and epoxy.
6.2.3 Choice of Epoxy Resin
The choice of resin was primarily motivated by searching for available adhe-
sive products that simultaneously featured a high thermal conductivity ()
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(a) Assembly of winding frame components
(b) Side view of pressure application along the sides of the winding
(c) Bottom view of pressure application at the front of the winding
Figure 6.4: Enclosure of winding into the frame to improve the application
of vertical and horizontal pressure.
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Figure 6.5: Prototype Litz winding with RTV silicon paste applied to the
endwindings.
and low viscosity (⌫) while retaining high dielectric strength. In particular
it was important to choose a type of adhesive that would produce the least
negative e↵ect in terms of thermal performance such that ceramic fillets were
favored over typically available acrylic compounds. On the other hand a low
viscosity was preferred due to the resin’s ability to more easily impregnate
the braided wire and thus form a better bond.
In terms of temperature rating (Tr) the resin had to sustain local hotspots
up to 150  C, which was the rated temperature of the 38 AWG Litz wire.
Moreover, its curing temperature could not be higher than this rated tem-
perature either such that room-temperature curing was strongly preferred at
the beginning of the prototype development.
In the course of the winding development two di↵erent adhesives were
tested, which are listed in Table 6.1. Whereas both resins are ceramic fil-
lets and feature room-temperature curing, the superior thermal and viscosity
properties of the Duralco 128 dominated the previously tested Devcon 11760
adhesive. From the experience of several manufacturing trials, this prod-
uct cures within 24 hours at room-temperature and produces a strong bond
between each turn.
6.2.4 Post-Winding Treatment
The last stage of the winding process addresses the formation of metal con-
nector points for each winding. Due to the employment of single-layer poly-
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Table 6.1: Material properties of sampled epoxy resins
Property Devcon 11760 [19] Duralco 128 [20]
Type Ceramic Ceramic
 [W/m K] 0.804 4.320
⌫ [cps] 32,000 15,000
Tr [ C] 180 260
imide as individual strand insulation, and nylon enamel as bundle support
structure, a process has to be developed to su ciently remove each of these
insulation levels in order to form metal connections.
Starting from removing the bundle nylon enamel by mechanical abrasion,
the entire post winding process is illustrated in Figure 6.6. Second, since a
class H polyimide strand-insulation is rated up to 220  C it cannot be re-
moved by dipping the entire wire into a solder pot or by mechanical abrasion
due to the risk of damaging the fine strands. Hence, a chemical solution
specially formulated for removing magnet wire insulation is immersed into a
boiling water bath [21]. As the conductor is immersed into this solution for
a period of 30 to 60 minutes, the solution wicks upwards on the conductor
due to capillary action. This is undesirable since it infuses the wire with
stripping chemicals at locations where the insulation is supposed to be main-
tained intact. Lastly, each strand is dipped into a solder pot to form each
connector.
Potential issues in this process lie in the wicking of stripping chemicals
and the formation of metal bonds. The downfall of using a highly stranded
Litz wire is that there is no guarantee that each strand is actually connected
to the solder pat at the connector ends. A mitigation plan would include
statistically measuring the resistance between both ends of the winding to
identify potential outliers in the future.
6.3 Results
After completing several manufacturing trials to define and modify the wind-
ing process in the preceding section, Figure 6.7 presents a selected prototype
of the final winding geometry. Furthermore, Table 6.2 tabulates the wind-
ing dimensions taken at several locations of this prototype shown in Figure
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(a) Nylon enamel removal (b) Polyimide insulation removal
(d) Insulation material wicking (c) Final connector formation
Figure 6.6: Summary of post-winding treatment in clockwise direction.
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6.7a. The conclusion drawn from these measurements are that neither width
or height dimensions of the prototype violate the designated slot window in
the machine design. This is an encouraging result since previous iterations
had violated tolerances at the sharp edge of the endwindings seen in Figure
6.7b. Moreover, an example of the final one-pole armature winding assembly
is illustrated in Figure 6.7c where all three phases are represented with a
baseline active length of 8.7”.
6.4 Future Work
Whereas these results merely present a proof of concept it is reassuring to
have arrived at a final hardware prototype that incorporates the conclusion
of the AC loss analysis as well as the manufacturing process development
derived in this chapter. Nevertheless, future work in regards to optimizing
the manufacturing process includes the addition of a turn insulation layer
that will mitigate the risk of potential short between turns and neighboring
windings. Secondly, to achieve an optimal curing process the composites
winding frame will be replaced by a stainless steel one to experiment with
oven curing and better release agents. This would improve the flow of epoxy
and prevent any airgaps from forming within the conductor.
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(a) Prototype winding
(b) Magnified side view of endwinding edge
(c) Sample armature winding assembly for one pole-pair
Figure 6.7: Sample hardware results for 8.7” active length machine design.
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Table 6.2: Litz winding dimensions as a function of physical points along
the winding in Figure 6.7a
Point Width [in] Height [in]
1 0.262 0.205
2 0.261 0.199
3 0.259 0.198
4 0.256 0.201
5 0.253 0.197
6 0.257 0.194
7 0.255 0.193
8 0.252 0.198
9 0.260 0.201
10 0.262 0.202
11 0.263 0.195
12 0.259 0.201
13 0.257 0.203
14 0.258 0.201
15 0.256 0.200
16 0.256 0.205
Average [in] 0.258± 0.006 0.199± 0.006
Maximum [in] 0.262 0.207
Design [in] 0.262 0.215
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CHAPTER 7
CONCLUSIONS
The motivation of this thesis was to develop and manufacture an armature
winding for a 1 MW PM electric machine for aerospace applications with a
particular focus on minimizing AC losses, while maximizing power density to
8 hp/lb. The main approach in the design process was to choose Litz winding
as the fundamental building block of the winding due to its particularly fa-
vorable characteristics in minimizing skin- and proximity-e↵ect losses, which
are the two major categories of AC losses.
In order to begin the AC loss characterization of the winding an analytical
model was chosen from the literature and modified accordingly to identify
the best conductor topology with respect to minimizing copper losses. This
analysis included several parameters from a Litz wire manufacturer to es-
tablish a realistic analysis based on attainable materials and constructions.
Additionally, several assumptions were made to simplify the electromagnetic
environment in this analysis to avoid overconstraining the design problem.
Ultimately, compared to a baseline Litz design at 30 AWG a superior con-
struction was identified at 38 AWG due to lower overall AC losses and a more
favorable ratio of AC to DC losses.
However, to be able to refine the model environment by defining the exact
geometry and material characteristics of the machine design, a finite element
model was subsequently built to advance the analysis from the fundamental
assumptions made in the previous analytical model. This FEA concluded in
AC loss figures that were in close agreement with the analytical results; yet,
all results were slightly larger than previously predicted. An explanation for
this phenomenon was revealed in a fast Fourier transform of the magnetic flux
density inside the windings. Due to a short-pitched 5/6 fractional winding
and the omission of stator teeth in the design slot harmonics were expected
to be negligible.
However, due to the employment of a Halbach array, the 13th space har-
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monic is particularly present in the frequency profile of this design. But
despite the existence of this higher-frequency loss driver, the e↵ect quickly
falls o↵ such that the e↵ect on overall AC losses is small. Yet, it aided
in closing the gap in loss prediction between analytical and finite element
calculations.
To conclude the loss characterization of the armature winding design, a
caliometric test bench was set up to experimentally verify the method used
in the finite element software to compute AC losses. The purpose of this
experiment was to explore AC losses on a smaller, representative experimen-
tal scale before assembling the entire machine to verify that numerical loss
computations stayed within acceptable margins of error. The experimental
data verified that FEA loss computations remained within about 10% of the
experimental results. But furthermore, a polynomial trend line fitted to the
experimental data revealed that the same relationship between losses and
magnetic flux density, which was first predicted by the analytical solution,
also applied to the data collected during this experiment. Hence, the results
of this experiment validated both prior numerical approaches to characterize
AC losses of the winding.
The last stage of the development focused on the actual implementation
of the winding design that was previously explored and characterized. First,
the staggered winding method was chosen to lay out the geometry of the
armature winding. Secondly, an outline was presented that describes the
development of a manufacturing process to implement this winding method
together with the previously identified Litz conductor. Ultimately, several
hardware trials are presented to confirm the implementation of the proposed
geometry with the chosen Litz conductor topology, while remaining within
the confined tolerances dictated by the machine design.
Whereas the loss characterization has been completed, future work will
heavily focus on the manufacturability of the design. Despite several proto-
types that have been developed to specifications up to this date, the man-
ufacturing of the entire 60 armature windings remains another challenge.
Currently, oven-curing and alternative winding frames are being tested to im-
prove manufacturing results. However, the biggest manufacturing challenge
remains the inclusion of a turn-by-turn insulation that is di cult to insert
appropriately into the manufacturing process due to dimensional expansions.
Potential future alternative solutions to this include the substitution of one
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turn with an equivalent conductor area for the three turns that are currently
being considered in the design.
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